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ABSTRACT
The effect of the parameters of the Johnson and Cook material model on the direct impact crushing
behaviour of a layered 1050 H14 aluminium corrugated structure was investigated numerically in LS-
DYNA at quasi-static (0.0048m s�1) and dynamic (20, 60, 150 and 250m s�1) velocities. Numerical and
experimental direct impact tests were performed by lunching a striker bar onto corrugated samples
attached to the end of the incident bar of a Split Hopkinson Pressure Bar set-up. The numerical
impact-end stress-time and velocity-time curves were further compared with those of rigid-perfectly-
plastic-locking (r-p-p-l) model. Numerical and r-p-p-l model impact-end stress analysis revealed a shock
mode at 150 and 250m s�1, transition mode at 60m s�1 and quasi-static homogenous mode at
20m s�1. The increase of velocity from quasi-static to 20m s�1 increased the numerical distal-end ini-
tial peak-stress, while it almost stayed constant between 20 and 250m s�1 for all material models. The
increased distal-end initial peak-stress of strain rate insensitive models from quasi-static to 20m s�1

confirmed the effect of micro-inertia. The numerical models further indicated a negligible effect of
used material models on the impact-end stress of investigated structure. Finally, the contribution of
strain rate to the distal-end initial peak-stress of cellular structures made of low strain rate sensitive Al
alloys was shown to be relatively low as compared with that of strain hardening and micro-inertia, but
it might be substantial for the structures constructed using relatively high strain rate sensitive alloys.
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1. Introduction

The strain rate sensitivity of metallic cellular structures may
be in part or in combination due to compressed air in
between crushed/bent/folded cells, the strain rate sensitivity
of cell wall material, the micro-inertia of cell wall bending
and inertia/shock formation [1]. Relatively low stress rise
due to compressed air was reported for a closed-cell Al
foam [2], but it might be substantial for very low density Al
foams [3]. The strain rate sensitivity of cell wall material
increases the crushing stress of metallic cellular structures at
increasing impact velocities [4,5]. Similarly, the micro-iner-
tia referred to as the delay of overall cell wall buckling
increases cell wall buckling loads at increasing velocities
[6,7]. The structures exhibiting steeply declining quasi-static
load–displacement curve following an initial peak load
(Type II) have shown to be more sensitive to impact veloc-
ities than the structures exhibiting a relatively flat-topped
quasi-static load–displacement curves (Type I) [7]. The
micro-inertia was previously shown for square thin-walled
Al extrusions [8], closed-cell aluminium foams (from
3.33� 10�5 s�1 to 1.6� 10�1 s�1) [9], aluminium honey-
combs [10], PVC foams and end-grain balsa wood (from
10�4 s�1 to 4� 103 s�1) [11]. In two-phase cell wall buck-
ling/bending (the plastic compression of walls and the rota-
tions of plastic hinges), the micro-inertia was reported

dominant in the first phase and the strain rate sensitivity in
the second phase [6], but both were equally effective in the
deformation of Type II structures [12]. The shock mode of
deformation however appears above a critical velocity with
an indication of higher impact-end (impacted end) stress
than distal-end (rear end) stress [13,14]. The difference
between impact-end and distal-end stress increases as
impact velocity increases above the critical velocity for shock
formation. The densification strain was also shown to
increase with increasing velocity [12,14–16]. The shock
mode of deformation was shown in wood [17,18], urethane
foam [19], open and closed cell aluminium foams [2,20–26],
aluminium honeycomb [14] and multilayer corrugated
structures [27].

Not only the crushing stress values but also the forma-
tion and progression of crush bands are altered with shock
deformation mode. The initial cell wall collapse starts at the
weakest layer and progresses non-sequentially in quasi-static
mode, while the initial cell collapse starts at the impact end
and progresses sequentially in a planner manner in shock
deformation mode [13,28]. Agreements between the calcu-
lated and experimentally determined critical velocities for
shock formation were previously reported for closed-cell Al
foams [13,28]. In another study, open-cell 6061 Al foam
samples impacted at 60m s�1 or above showed shock
deformation, while the samples impacted below 40m s�1
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exhibited a crushing mode very similar with the specimens
tested at quasi-static velocity [12]. Apart from these, three
deformation modes were shown for Al foams [29]: a quasi-
static homogeneous mode in which the distal-end and
impact-end stresses were equal at 16m s�1, a transition
mode at an intermediate velocity of 63m s�1 and a shock
deformation mode at 113m s�1.

The velocity-dependent deformation behaviour of closed
and open-cell Al foams, Al honeycombs and single- and
double-layer Al corrugated cores were previously deter-
mined experimentally and numerically [2,14,16,20,24–26,
28,30–33]. The effect of strain rate on the out-of-plane plat-
eau stress of an Al honeycomb using the Cowper–Symonds
model with various strain rate hardening parameters was
investigated numerically up to 200m s�1 and experimentally
up to 20m s�1 [34,35]. It was shown that the plateau stress
rise due to the strain rate sensitivity of cell wall material
was only effective until about very low velocities (�10m s�1),
while inertial effects were dominant at high velocities.
However, the effect of strain rate on the distal-end initial
peak-stress and material flow stress model on the shock
stresses of cellular structures have not been extensively
investigated yet. Present study is therefore aimed to deter-
mine numerically the effect of strain rate and material flow
stress model on the distal-end and impact-end crushing
stresses of a layered 1050 H14 aluminium corrugated sand-
wich structure. The present study focuses on the distal-end
initial peak-stress rather than plateau stress since it is the
highest stress (before densification) that a structure experi-
ences when it is protected against impact by a cellular struc-
ture. And, the results of present study may also be applied
to cellular structures made of similar Al alloys. The investi-
gated core was made of multilayer corrugated layers (fins)
and was previously shown to display repeatable load-dis-
placement responses [27,36,37]. On the other side, the dis-
persion of the strength of aluminium closed-cell foams
widely used in dynamic crushing studies is comparably
high, �20% [2]. Partly because of this, the opposite results
of the strain rate sensitivity of aluminium closed-cell foams
were found in the literature [38]. As the investigated multi-
layer corrugated structure displays repeatable responses to
mechanical forces, it is also possible to construct 3D full
models in order to monitor velocity and strain histories of
each layer during the course of deformation. In addition,
the corrugated core layers were in zig-zag form to facilitate
fluid flow and thermal conduction. The corrugated sand-
wich structure forms a closed-loop system for a coolant to
circulate within each layer when interlayer sheets are placed
between each layer [39]. One of the potential applications is
in the constructions of ammunition store walls. In this
application, the sandwich absorbs the blast energy through
the deformation of corrugated layers and the structure at
the same time may supply coolant to extinguish any fire.
Four different sets of material model parameters were inves-
tigated and 3D full geometric models of multi-layered struc-
ture were developed in the explicit finite element code of
LS-DYNA. Geometrically imperfect layers were included in
the geometrical models in order to validate the experimental

quasi-static stress–strain behaviour and to investigate their
effects on the distal-end and impact-end stresses. The quasi-
static compression geometrical model was implemented at
0.0048m s�1 and the direct impact (stationary or forward
impact) numerical test models at 20, 60, 150 and 250m s�1.

2. Material and material models

The investigated multi-layered sandwich core was made of
1050 H14 Al trapezoidal zig-zag corrugated layers (fins) as
shown in Figure 1(a). The structure was constructed using
15 zig-zag fin layers (see the inset of Figure 1(a)) brazed
with 0/90 layer configuration and 1mm-thick 1050 H14 Al
face sheets (shown by arrows in Figure 1(a)). The height,
width, length and thickness of a fin are sequentially 3.20,
1.6, 2.4 and 0.170mm (Figure 1(b)). The details of the cor-
rugated core processing are given elsewhere [27].

The quasi-static compression tests (0.0048m s�1) were
performed using 40mm diameter samples and the direct
impact tests using 19.40mm diameter samples. Essentially,
19.40mm and 40mm samples showed the same quasi-static
stress–strain behaviour, while larger diameter sample was
selected in order to observe layer crushing clearly. The test
samples had the density of 326 kg m�3 without face sheets.
The corrugated sandwich plate contained typical fin wall
imperfections induced during brazing. The fin walls were
slightly bent after brazing as shown in the inset of Figure
2(a). In addition, the fin walls at the outer surface of cylin-
drical test samples were significantly bent after cutting as
seen in the inset of Figure 2(b). The fin walls were also
thicker at the fin contact points which was attributed to the
filler accumulation at these sites. The bent-walls after braz-
ing and cutting were simulated by using bent-wall-fin-geom-
etry model and inserting two imperfect fin layers to the
model sample, respectively.

The initial modelling studies were on the determination
of a representative numeric geometrical model for the
experimental quasi-static and dynamic stress-strain behav-
iour of corrugated multi-layered structure. Once the repre-
sentative numerical model geometry was determined, then
the direct impact test models were implemented. The 3D
quasi-static and dynamic test sample models were con-
structed using three different fin geometries. These are the
perfect, imperfect and double imperfect fins as shown in
Figure 3(a–c), respectively. In the imperfect and double
imperfect fin models, a bent type of imperfection, 1.62mm
in radius, is introduced to the one and two-wall of the fins,
respectively (Figure 3(b) and (c)). The model constructed
using perfect unit fin geometry is coded as perfect geometry
model (Figure 3(a)) and the model constructed using imper-
fect unit fin geometry is coded as imperfect geometry model
(Figure 3(b)). In the two-layer imperfect geometry model,
the 2nd and 10th layers from top to bottom (marked with
arrows in Figure 3(c)) were constructed with double imper-
fect unit fin geometry. The perfect geometry model, imper-
fect geometry model and two-layer imperfect geometry
model contained 125,906, 150,871 and 154,153 shell ele-
ments, respectively. The fins in the numerical sample model
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had the same geometrical properties with the fins in the test
sample. As the layered corrugated sandwich was formed by
brazing the fin layers in a furnace at 600 �C (10min) by the
producer using a 4343 Al filler with �7wt% of the panel,
the thickness of the fin walls in the numerical sample model
increased from 0.170 to 0.187mm in order to account the
filler material weight in the brazing process (7wt% – corre-
sponding to 0.017mm thickness increase).

3. Quasi-static and dynamic tests and models

The used quasi-static compression numerical test model is
shown in Figure 4. The compression bottom and top test
platens of universal Shimadzu testing machine were mod-
elled with �MAT_RIGID, Material type 20. The modulus of
elasticity (E) of steel test platens was 210GPa and the

Poisson’s ratio 0.3. The bottom test platen was constructed
using 19,200 solid elements and fully constrained in all
directions. The top test platen was modelled using the same
number of solid elements and moved only through the
axial-direction with a velocity the same as the compression
test velocity, 0.0048m s�1.

BOUNDARY_PRESCRIBED_MOTION_RIGID card was
used to give constant z-direction velocity to the top cross-
head. The total time of quasi-static simulation was defined
with CONTROL_TERMINATION card. Since the total CPU
time for quasi-static test solutions are relatively long, the
mass scaling was applied in the quasi static simulations. The
mass was added or removed from the elements. In order to
determine the mass scaling factor, the simulation was ini-
tially run without mass scaling and the determined time
step was multiplied by 10, 100 and 1000. It was found

Figure 1. (a) The multi-layered sandwich plate cross-section and fin layer and (b) fin geometrical sizes.
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numerically that the kinetic energy change was substantially
lower than the internal energy change when the mass scal-
ing factor was 1000. The termination time was taken as
10,000 milliseconds. The mass scaling method was imple-
mented by using CONTROL_TIMESTEP card (time step
size for mass scaled solutions, DT2MS was 0.0198). The
contacts between steel compression plate and sample were
determined with AUTOMATIC_SURFACE_TO_SURFACE.
The static and dynamic friction coefficients were 0.3 and
0.2, respectively. These friction coefficients were previously
implemented in modelling the same corrugated sample and
resulted in comparatively similar stress–strain curves with

those of quasi-static and dynamic tests [40,41]. The contacts
between each layer of corrugated sample were defined by
CONTACT_ERODING_SINGLE_SURFACE card.

The direct impact tests were performed previously [41] at
22, 40, 60, 80 and 90m s�1 in a modified Split Hopkinson
Pressure Bar (SHPB) testing apparatus as shown in Figure 5.
In these tests, the corrugated sample was attached to the
end of the incident bar and 20 cm-long Al striker bar with
an initial velocity impinged the sample (Figure 5). During
the tests, the distal-end stress of the impacted corrugated
sample was measured using two full-bridge strain-gage cir-
cuits on the incident bar: one was 300mm and other

Figure 2. The pictures of the (a) as-received sandwich core surface fins and (b) the machined surface fins of a cylindrical test sample with bent-wall shown
by arrow.

Figure 3. (a) Perfect unit fin and the perfect geometry model, (b) imperfect unit fin and the imperfect geometry model and (c) double imperfect unit fin and the
two-layer imperfect geometry model.
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1110mm away from impact-end (Figure 5). The striker bar
velocity was measured just before the impact using two laser
diodes placed at the exit of gas gun barrel. The striker bar
and the test sample had the same diameter, 19.40mm, with
the incident bar. The 19.40mm-diameter test samples were
extracted from a sandwich plate by means of an electro-dis-
charge machine.

The full direct impact test model and the sample bar
interfaces are shown in Figure 6. The diameter of the model
test sample is 19.4mm and the length is 48mm (composing
of 15 layers). Inconel 718 incident bar and 20 cm-long Al
striker bar were modelled using MAT_ELASTIC material
model (material type 01) and 15mm-size 28,980 and 4800
solid elements, respectively. The density, elastic modulus
and Poisson’s ratio of Inconel and Al were sequentially
taken as 7850 kg m�3, 207GPa, 0.33 and 2700 kg m�3,
70GPa and 0.33.

The contacts between bars and sample were defined by
the AUTOMATIC_SURFACE_TO_SURFACE contact algo-
rithm. The total time of dynamic simulation was defined by

the CONTROL_TERMINATION card with a termination
time of 3 milliseconds and the initial velocity by the
INITIAL_VELOCITY_GENERATION card.

The corrugated test sample was modelled using
the Johnson and Cook flow stress material model
(�MAT_SIMPLIFIED_JOHNSON_COOK, Material type 98)
with different sets of parameters

re ¼ Aþ BenP
� �

1þ cIn _e�P
� �

(1)

where, re is the equivalent stress, A and B are the constants,
eP is the equivalent plastic strain, n is the strain hardening
parameter and c is the strain rate sensitivity parameter. In
the same equation, _e�P denotes the strain rate ratio calculated
as _eP

_e0
, where _eP is the equivalent plastic strain rate and _e0 is

the reference equivalent plastic strain rate. The effect of
temperature was not taken into account in present study.
The material model parameters of 1050 H14 Al were
determined previously and given as: A¼ 102MPa,
B¼ 97.25MPa, n¼ 0.18 and _e0¼10�3 s�1 [36].

Figure 4. Front and 3 D view of quasi-static compression numeric model.

Figure 5. The schematic drawing of direct impact test in modified SHPB set-up.
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Four different sets of parameters were used in the
numerical simulations as tabulated in Table 1. These were
(1) the perfect plastic: A¼ 102MPa, B¼ 0MPa, n¼ 0 and
c¼ 0, (2) the strain hardening: A¼ 102MPa, B¼ 97.25MPa,
n¼ 0.18 and c¼ 0, (3) the strain and strain rate hardening:
A¼ 102MPa, B¼ 97.25MPa, n¼ 0.18 and c¼ 0.02 and (4)
the strain and strain rate hardening with c¼ 0.06. These sets
of material model parameters were coded as MM-I, MM-II,
MM-III and MM-IV, respectively. The strain rate sensitivity
of Al and its alloys are known to be relatively low. The rate
sensitivity of heat-treated alloys was reported between 0.01
and 0.015, 1100 and 1060 alloys between 0.004 and 0.06 and
pure Al between 0.07 and 0.9 [42]. Therefore, the selected
rate sensitivity parameters are in accord with the experimen-
tally determined strain rate sensitivities of similar alloys.
The stress-strain curves of investigated corrugated core
material parameter sets at 1 s�1 are shown in Figure 7.

Shortly, MM-II was used to determine the effect of strain
hardening, MM-III the effect of strain rate hardening and
MM-IV the effect of increasing strain rate sensitivity param-
eter on the crushing behaviour.

4. Results and discussion

4.1. Effect of geometry model

The quasi-static stress–strain curves of the test, perfect,
imperfect and two-layer imperfect geometry model using
MM-II are shown in Figure 8. The perfect geometry model
results in relatively higher initial and post initial peak-
stresses than the test. It is noted in the same figure that the
peak and valley-stresses and the densification strain of the
test are better approached by the imperfect geometry model

Figure 6. The direct impact SHPB test model and interfaces between the bars and sample.

Table 1. The sets of material model parameters used in the numerical simulations.

Designation A (MPa) B (MPa) n c Model effects

MM-I 102 0 0 0 Perfect plastic
MM-II 102 97.25 0.18 0 Strain hardening
MM-III 102 97.25 0.18 0.02 Strain and strain rate hardening with low strain rate sensitivity
MM-IV 102 97.25 0.18 0.06 Strain and strain rate hardening with high strain rate sensitivity

Figure 7. The stress–strain curves of MM-I, MM-II, MM-III and MM-IV at 1 s�1. Figure 8. The quasi-static stress–strain curves of the test and perfect, imperfect
and two-layer imperfect geometry model using MM-II.
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and two-layer imperfect geometry model. The deformation
pictures of the test, imperfect geometry model and two-layer
imperfect geometry model at 0, 0.2, 0.4, 0.6 and 0.8 strain
are shown sequentially in Figure 9(a–c). The initial layer
crushing in the test starts at the bottom sections of the sam-
ple at 0.2 strain; then, the layer crushing continues at the
upper layers as the strain increases (shown by arrows in
Figure 9(a)). Mid-section layers crush at a later stage of the
deformation and the layer crushing causes the shearing of
mid-section layers, resulting in the bending of the test sample
at 0.6 strain (shown by an arrow in Figure 9(a)). The layer
crushing in the imperfect geometry model starts at the bot-
tom and top layers as seen and marked by arrows in Figure
9(b). As similar with the test sample, the numerical mid-sec-
tion layers crush at a later stage. The extent of specimen
bending is noted to be significantly reduced in the imperfect
geometry model. In the two-layer imperfect geometry model,
the layer crushing however initiates at the 2nd and 10th layer

(imperfect layers-marked by arrows in Figure 9(c)). Later, the
layer crushing switches to the top and bottom layers, fol-
lowed by the crush of mid-section layers. The sample bend-
ing is also clearly seen in Figure 9(c), starting at �0.4 strain,
almost the same as the test. The test deformation sequence
and final deformed shape of test sample are concluded to be
well approached by the two-layer imperfect geometry model.
Further modelling efforts were therefore continued with the
use of the two-layer imperfect geometry model and
the imperfect geometry model was only used to determine
the effect of imperfect layers on the crushing stress.

4.2. Effect of set of material model parameter

In previous experimental and numerical studies, the MM-II
was shown to result in numerical stresses similar with the
quasi-static compression tests, direct impact tests at 22, 40,
60, 80 and 90m s�1 [41] and Taylor-like impact tests at 135,

Figure 9. The quasi-static deformation pictures of (a) test, (b) imperfect geometry model and (c) two-layer imperfect geometry model at 0, 0.2, 0.4, 0.6 and 0.8
strain (numbers show strain).

44 M. G€UDEN AND _I. CANBAZ



250 and 200m s�1 [40]. Figure 10 shows the numerical direct
impact distal-end stress–time curve of MM-II (two-layer
imperfect model) together with three experimental distal-end
stress–time curves at 60m s�1. As seen in the same figure,
the model and test distal-end initial peak and post initial
peak-stresses are very similar at 60m s�1, � 2MPa, while the
model sample densifies at a longer time than the test sample.
The layer crushing in the test starts at the impact-end layers
and proceeds to the undeformed layers as the deformation
time increases as depicted in the inset of Figure 10.

The quasi-static stress–strain curves of M-I, MM-II and
MM-III are shown in Figure 11(a) together with that of a
test. As seen in the same figure, the stress-strain curves of
MM-II and MM-III are very similar because of relatively
low strain rate involved in the quasi-static test, while MM-I
shows relatively lower crushing stresses. Although it is not
shown in Figure 11(a), MM-IV showed the same quasi-static
stress–strain behaviour with MM-III. The lower crushing
stresses of MM-I as compared with those of MM-II, MM-III
and MM-IV are due to lack of strain hardening in MM-I.
The strain hardening also decreases densification strain as
seen in Figure 11(a). The initial peak-stress (marked in
Figure 11(a)) is determined 1.27MPa for MM-I and
1.74MPa for MM-II, MM-III and MM-IV. The distal-end
stress–time curves of MM-I, MM-II, MM-III and MM-IV at
20, 60 and 150m s�1 are shown in Figure 11(b–d), respect-
ively. As the velocity increases, the difference in the distal-
end stresses between materials models increases. As is
expected, MM-IV shows the highest and MM-I the lowest
distal-end stresses. Shortly, both strain hardening and strain
rate increase distal-end stresses at increasing velocities.

The impact-end stress–time curves of material models at
20, 60, 150 and 250m s�1 are shown in Figure 12(a–d),
respectively. The increase of velocity from quasi-static to
20m s�1 increases the initial peak-stresses of all the sets of
material model parameters as compared with quasi-static

peak-stress, but post-peak-stress values become very much
similar with those of quasi-static after �500 ls. The impact-
end stresses get much higher than that of quasi-static when
the velocity increases to 60, 150 and 250m s�1 and the
impact-end stresses of all the sets of material model parame-
ters get close to each other as seen in Figure 12(b–d). It is
also noted in Figure 12(a–d) that the magnitude of stress
oscillations increases with increasing velocity.

Figure 13(a–d) shows sequentially the distal-end nominal
stress–strain curves of MM-I, MM-II, MM-III and MM-IV
at increasing velocities. As seen in the same figure, the dis-
tal-end initial peak and post-peak-stresses of all the sets of
material model parameters increase with the increase of vel-
ocity from quasi-static velocity to 20m s�1. Thereafter, the
distal-end initial peak-stresses remain almost constant or
increase slightly, while the post-peak-stresses increase with
increasing velocity. The effect of the sets of material model
parameters on the distal-end stresses is also seen in Figure
13(a–d). Both, the strain and strain rate hardening increase
distal-end stresses including both initial peak and post-peak-
stresses. Although, the distal-end stresses following the ini-
tial peak-stress at 20m s�1 are very similar with those of
quasi-static, the distal-end stresses at 60, 150 and 250m s�1

are much higher than those at quasi-static velocity.
The deformation pictures of MM-II at 20, 60 and 150m s�1

are shown in Figure 14(a–c), respectively. At all velocities,
the initial layer crushing starts at the impact-end, while the
layer crushing is non-sequential at 20m s�1 (Figure 14(a))
and diffusive at 60m s�1 (Figure 14(b)). The layer crushing
however progresses sequentially from the impact-end to the
distal-end at 150m s�1, showing a shock deformation mode
(Figure 14(c)). The shock deformation mode was also
detected at 250m s�1. As with the two-layer imperfect
geometry model, the layer crushing in the imperfect geom-
etry model started at the impact-end at all velocities.

4.3. Comparison with the rigid-perfectly-plastic-locking
model and the simplified model of foam plateau stress

The variations of the distal-end initial peak-stress of MM-I,
MM-II, MM-III and MIV with velocity are shown in Figure
15(a). The distal-end initial peak-stress increases with
increasing velocity from quasi-static to 20m s�1. But after
20m s�1, the distal-end initial peak-stress remains almost
constant. An average dynamic distal-end peak-stress was
determined between 20 and 250m s�1 for each set of mater-
ial model parameters as seen in Figure 15(a). The dynamic
distal-end average peak-stress is 1.67, 2.16, 2.45 and
2.91MPa for MM-I, MM-II, MM-III and MM-IV, respect-
ively. In the same figure, the distal-end initial peak-stress of
the imperfect geometry model (MM-II) is also shown. The
dynamic distal-end peak-stress of the imperfect geometry
model is 2.35MPa. On the other side, the quasi-static
(0.0048m s�1) distal-end peak-stress is 1.27 for MM-I,
1.73MPa for MM-II, MM-III and MM-IV and 2.1MPa for
the imperfect geometry model. The distal-end peak-stress
increases 31.5%, 24.8%, 41.6% and 68.2% for MM-I, MM-II,
MM-III and MM-IV at dynamic velocities, respectively.

Figure 10. The direct impact distal-end stress–strain curves of the test and
MM-II at 60m s�1 (arrows show the impact end).
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Using the distal-end average initial peak-stress of each
material model as the plateau stress (rp), the impact-end
stress (r�Þ and velocity (vÞ were calculated as function of
time (t) using the rigid-perfectly-plastic-locking (r-p-p-l)
model as [43]

r� tð Þ ¼
M
Ao

� �2
rp þ qo

ed
vo2

� �
M
Ao
þ qou

ed

� �2 (2)

and

v tð Þ ¼

ffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffiffi
ed
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� �2
rp þ qo

ed
vo2

� �
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þ qou

ed

� �2 �rp

2
664

3
775

vuuuuut (3)

where M is the mass of Al striker, Ao is the cross-sectional
area of sample, qo is the density of sample, ed is the densifi-
cation strain, u is the displacement and vo is the velocity of
striker. Following parameters were used the calculations:
qo ¼ 326 kg m�3, ed ¼0.72 and the diameter of test sample
¼ 19.40mm. The results of the r-p-p-l model impact-end
stress calculations of MM-II based on the distal-end average
initial peak-stress are shown in Figure 12(a–d) for 20, 60,
150 and 250m s�1, respectively. Although, the r-p-p-l model
stress calculation show well agreement with the numerical
impact-end stress at the initial times of impact at 20m s�1

and 60m s�1, it over predicts the stresses at increasing
times (Figure 12(a,b)). While, the r-p-p-l model stress calcu-
lation shows thoroughly well agreement with the numerical
impact-end stresses at 150 and 250m s�1 (Figure 12(c,d)).
This also proves the existence of shock stress after 60m s�1

Figure 11. (a) The quasi-static stress–strain curve and the distal-end stress–time curves of samples with different material models at (b) 20, (c) 60 and
(d) 150m s�1.
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since the r-p-p-l model predicts merely the shock stresses.
The discrepancies between the densification strains and
stresses of the r-p-p-l model and numerical model in the
shock mode of deformation are ascribed to the fact that the
r-p-p-l model is based on the quasi-static densification
strain and plateau stress, while the densification strains and
stresses in the model are determined by the deformation of
the fin layers. By considering all internal energy was due to
the loss of the kinetic energy, the following equation was
proposed for the critical velocity (vcr) for the shock
formation [28]

vcr ¼
ffiffiffiffiffiffiffiffiffiffiffiffi
2rped
qo

s
(4)

Taking rp ¼2.16MPa, qo ¼326 kg m�3 and ed ¼ 0.72
gives a critical velocity of �115m s�1. This calculated

critical velocity is also in accord with the numerically deter-
mined shock deformation mode at 150 and 250m s�1.
Therefore, the r-p-p-l model in present study is only applic-
able at 150 and 250m s�1 and it gives higher crushing
stresses than the numerical model at relatively lower veloc-
ities. Figure 15(b) shows the impact-end stress and veloci-
ty–time curves of the imperfect geometry model (MM-II)
and two-layer imperfect geometry model (MM-II) together
with the stress and velocity–time curves of the r-p-p-l mod-
els at 250m s�1. The numbers at the peak-stresses in the
same figure represent the completion of individual layer
crushing. Since the two-layer imperfect model contains two
double-wall-bent unit fin layers and all other layers are
made of single-wall-bent unit fin layers and the imperfect
geometry model are all made of single-wall-bent unit fin
layers, Figure 15(b) also shows the effect of insertion

Figure 12. The impact-end stress–time curves of samples with different sets of material model parameters at (a) 20, (b) 60, (c) 150 and (d) 250m s�1.
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imperfect layers on the impact-end stresses. At the crushing
of imperfect layers (2nd and 10th layer), the imperfect
geometry model shows higher peak-stresses, while at the
crushing of following layers (3rd and 11th layer), imperfect
layer exhibits higher stresses. Apart from these, both geom-
etry models show the same numerical and r-p-p-l model
impact-end stresses and velocities and the same densifica-
tion strains (0.72). Note that as the r-p-p-l model assumes a
constant densification strain and excludes the elastic strains,
it results in lower densification strains and higher velocities
than the numerical model. The effect of imperfect layers on
the impact-end stress is however somehow less pronounced
in MM-I as compared with MM-II as seen in Figure 15(c).
The peak-stress values of MM-II after the fifth layer
decreases as compared with strain hardening MM-II. But,
strain hardening has almost no effect on the valley-stresses,

densification strain and the r-p-p-l model stress and velocity
values as seen in the same figure. There are also no signifi-
cant effect of strain rate hardening models on the densifica-
tion strain and the r-p-p-l model stress and velocity values
as shown in Figure 15(d). The only effect of the strain rate
hardening model is to decrease slightly the magnitude of
stress oscillations by reducing the peak-stress values and
increasing the valley-stress values.

The investigated corrugated structure may be considered
as an Al open-cell foam with a plateau stress of [44]

rp ¼ C1ry
qo
qs

� �3=2

(5)

where, ry and qs are the yield stress and the density of Al
alloy and C1 is a constant, � 0.3. By taking ry¼102MPa,
qo ¼326 kg m�3 and qs¼2700 kg m�3 and using Equation

Figure 13. The distal end stress–nominal strain curves of samples at different velocities (a) MM-I, (b) MM-II, (c) MM-III and (d) MM-IV.
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Figure 15. (a) the variation of distal-end stress with velocity and impact-end stress vs. nominal strain graphs of (b) the imperfect geometry model (MM-II) and the
two-layer imperfect geometry model (MM-II), (c) MM-I and MM-II and (d) MM-II, MM-III and MM-IV at 250m s�1 together with the r-p-p-l model predictions.

Figure 14. The deformation pictures of MM-II at (a) 20, (b) 60 and (c) 150m s�1.
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(5), the plateau stress was determined 1.28MPa. This calcu-
lated plateau stress is comparable with the experimentally
determined average initial peak-stress, 1.32MPa
(1.25–1.44MPa) and average plateau stress, 1.02MPa
(0.95–1.1MPa), at quasi-static strain rate.

It is known that, the average nominal strain rate underes-
timates the actual local strain rate. It was previously shown
for an Al honeycomb that the ratio between the strain rate
of the cell wall material and the nominal strain rate was
between 1 and 2 [45]. The plateau stresses of MM-I with
c¼ 0, c¼ 0.02 and c¼ 0.06 were calculated using Equation
(5) and the results are shown in Figure 16(a). The full and
dotted lines in Figure 16(a) are sequentially for one- and
two-time increase in local strain rate. As shown in the same
figure with a dotted-line box, the strain rate is effective in
increasing the plateau stress up to relatively low velocities

(up to �30m s�1). At higher velocities, the plateau stress is
nearly constant for c¼ 0.02 and slightly increases with vel-
ocity for c¼ 0.06. This is also well accord with the previous
works on Al honeycomb and foam structures [29,34,35]. It
is also noted that doubling the local strain rate results in
comparatively low stress rise in the strain rate hardening
models. The increased distal-end initial peak-stress of MM-I
and MM-II from quasi-static until 20m s�1 is therefore
concluded to be likely due to the micro-inertia since both
MM-I and M-II are strain rate insensitive. While, the
increased distal-end initial peak-stress of MM-III and
MM-IV from quasi-static until 20m s�1 is due to both
micro-inertia and strain rate. The experimental increase of
distal-end initial peak-stress of the investigated corrugate
structure within the same velocity range was also reported
in another study [41]. The relative contributions of the
effects to the dynamic distal-end peak-stress of the corru-
gated structure (MM-IV and 250m s�1) are shown in
Figure 16(b). The contribution of quasi-static initial peak-
stress, micro-inertia, strain hardening and strain rate for a
relatively high strain rate sensitive alloy (c¼ 0.06) is sequen-
tially 44, 12, 19 and 35%, respectively. For a relatively low
strain rate sensitive alloy (c¼ 0.02), the contribution of
strain rate decreases to 12% and the contribution of quasi-
static initial peak-stress, micro-inertia and strain hardening
increases sequentially to 52%, 14% and 22%. The effect of
imperfect layer on the dynamic distal-end initial peak-stress
is also noted relatively low, 5–7%. These results also con-
firmed the negligible effect of velocity on the distal-end ini-
tial peak-stresses of such cellular structures made of low
strain rate hardening metals such as Al alloy investigated in
this study.

5. Conclusions

The effect of the sets of material parameters of the Johnson
and Cook flow stress model on the dynamic distal-end ini-
tial peak-stress and impact-end stress of a layered 1050 H14
aluminium corrugated structure was investigated numeric-
ally at quasi-static (0.0048m s�1) and dynamic (20, 60, 150
and 250m s�1) velocities. In the numerical and experimen-
tal direct impact tests, the corrugated sample was placed at
the end of the incident bar of an SHPB set-up and an alu-
minium striker impinged the corrugated sample. The
increase of striker velocity increased the impact-end stress,
while the impact-end stress analysis showed a quasi-static
homogenous mode at 0.0048 and 20m s�1, a transition
mode at 60m s�1 and a shock mode at 150 and 250m s�1.
The stress calculations of the r-p-p-l model confirmed the
shock mode of deformation at 150 and 250m s�1. A simple
plateau stress analysis based on open-celled foam structure
revealed the rapid increase of plateau stress up to �30m
s�1 in strain rate hardening models. At higher velocities, the
plateau stress was nearly constant when c¼ 0.02 and slightly
increased with increasing velocity when c¼ 0.06. Numerical
results showed that the increase of velocity from quasi-static
to 20m s�1 increased the distal-end initial peak-stress, while
it almost remained constant between 20 and 250m s�1 for

Figure 16. The effect of velocity (strain rate) on the plateau stress based on
Equation (5) and MM-I and (b) numerical relative contributions to distal-end
peak-stress.
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all material models investigated. The increased distal-end
initial peak-stress in MM-I and MM-II from quasi-static to
20m s�1 was ascribed to the micro-inertia as both models
were strain rate insensitive, while the increased distal-end
initial peak-stress of MM-III and MM-IV from quasi-static
until 20m s�1 was ascribed to both micro-inertia and strain
rate. The increase of distal-end initial peak-stress within the
same velocity range was also previously noted in the tested
corrugate structure. The numerical models showed almost
no effect of the used sets of material model parameters on
the impact-end stresses in the shock mode of deformation.
The contribution of strain rate on the distal-end initial
peak-stress was calculated relatively low as compared with
that of strain hardening and micro-inertia for low strain
rate hardening Al alloys. In designing the engineering com-
ponents with the cellular structures made of low strain rate
sensitive alloys against impact, the micro-inertia should be
included in the homogenized geometrical models, simply by
conducting tests at different velocities. The shock stress
development in these structures can also be predicted by
using simple material models at a specific velocity.
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